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Compensation of Inverter Nonlinear Distortion
Effects for Signal-Injection-Based Sensorless Control
Daniel E. Salt, David Drury, Derrick Holliday, Antonio Griffo, Parminder Sangha, and Andrei Dinu, Member, IEEE
Abstract—A simple analytical technique, which uses readily
available datasheet parameters, is developed to model the low-
current switching characteristics of insulated-gate bipolar transis-
tors (IGBTs). Simulation and experimental results obtained using
three differently rated inverters are presented to demonstrate the
accuracy of the technique. The model is applied to compensate
the nonlinear distortion, introduced by IGBT switching action
in a three-phase inverter, of high-frequency injected voltage and
current signals used in sensorless control of a permanent-magnet
brushless ac machine. Experimental results show that the compen-
sation technique improves rotor position estimation by up to 20◦
electrical.
Index Terms—Nonlinear distortion, permanent-magnet ma-
chines, sensorless control.
NOMENCLATURE
Key Symbols and Abbreviations:
CCE Collector–emitter parasitic capacitance (in farads).
CCG Gate–collector parasitic capacitance (in farads).
CGE Gate–emitter parasitic capacitance (in farads).
Coes Datasheet parasitic output capacitance (in farads).
fs Pulsewidth modulation (PWM) switching frequency
(in hertz).
iC Insulated-gate bipolar transistor (IGBT) collector
current (in amperes).
iG IGBT gate current (in amperes).
iL Load current (in amperes).
td Deadtime (in seconds).
t′d Effective deadtime (in seconds).
td(off),v Turn-off delay time with respect to voltage (in
seconds).
td(on),v Turn-on delay time with respect to voltage (in
seconds).
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teto Equivalent turn-off time (in seconds).
tf,v Voltage fall time (in seconds).
toff,v Turn-off time with respect to voltage (in seconds).
ton,v Turn-on time with respect to voltage (in seconds).
tPD(off) Hardware turn-off gate propagation delay (in
seconds).
tPD(on) Hardware turn-on gate propagation delay (in
seconds).
tr,v Voltage rise time (in seconds).
ttr Low-current region voltage rise time (in seconds).
vCE(sat) IGBT on-state collector–emitter voltage (in volts).
VCE,th IGBT threshold voltage (in volts).
vd Diode on-state voltage drop (in volts).
Vd,th Diode threshold voltage (in volts).
Vdc DC-link voltage (in volts).
vGE IGBT gate–emitter voltage (in volts).
vGG Gating demand signal (in volts).
vLN Line-to-neutral voltage (in volts).
I. INTRODUCTION
THE high power density and low rotor inertia of thepermanent-magnet synchronous machine (PMSM) has
made it an ideal choice for high-performance traction or servo-
type applications where minimum weight and good dynamic
performance are of prime importance [1]. More recently, the
reduction in cost of the magnetic materials used to fabricate
the rotor of the machine has expanded the application area to
include domestic white goods where low cost and straightfor-
ward control take precedence [2]. The move toward sensorless
control of the PMSM is desirable in both high- and low-
performance applications as it leads to a reduction in cost
and weight and increased reliability compared to mechanical
resolver-based methods. Additionally, sensorless control can
provide greater accuracy than Hall-effect sensors.
Techniques used for PMSM sensorless control can be sepa-
rated into those for use at startup or low speed and those for
use at high speed. At high speed, the back electromotive force
(EMF) generated by the machine contains position information
which can be used to estimate the rotor angle. At zero speed
and low speed, when the back EMF is too small to be detected,
an additional high-frequency position tracking signal may be
injected [1], [2], [20]. The amplitude and frequency of this
signal must be chosen carefully to ensure that undesirable
torque pulsations are not introduced. This generally implies that
the amplitude of the injected signal will be small thus mak-
ing it particularly susceptible to interference from nonlinear
distortion effects [3], [5], resulting in reduced position estima-
tion accuracy.
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Fig. 1. High-frequency injection rotor position estimation technique.
The low-speed position estimation algorithm considered here
falls into the category of “synchronous reference frame filter-
ing” techniques. A high-frequency carrier signal is injected,
open loop, onto the stationary three-phase reference frame.
The resulting measured high-frequency current can then be
demodulated and used to track the saliency of the machine [1]–
[4] as illustrated in Fig. 1.
This sensorless technique uses the phase θc of the demanded
injection voltage as a reference for demodulation. However,
the actual high-frequency voltage applied to the machine is
distorted relative to the demand by the PWM process and
power electronics. It has been shown that, if not correctly
compensated, this distortion leads to a reduction in the accuracy
of the position estimation [3], [5].
This paper illustrates the main causes of nonlinear distortion
in the output voltage of IGBT-based inverters and proposes a
novel methodology for their modeling and compensation that
is suitable for inclusion in sensorless control schemes based on
high-frequency signal injection.
A model is developed to estimate the average value per PWM
switching cycle of the voltage error introduced by the power
electronics. This model is based on the calculation of voltage
distortion due to the IGBT forward voltage drop, turn-on and
turn-off switching times, and deadtime. Recent analysis has
highlighted an additional distortion caused by an extension of
the collector–emitter voltage rise time during IGBT turn-off
which occurs when the fundamental load current is close to
zero [6], [10]–[12]. A novel approach is proposed to model this
low-current switching time using readily available datasheet
parameters. The accuracy of the model is validated against three
commercially available IGBT modules.
An average value compensation strategy, based on the aver-
age voltage distortion model, is applied to the sensorless drive
of a buried magnet PMSM and shows an improvement in rotor
angle estimation of up to 20◦ electrical.
II. NONLINEAR DISTORTION EFFECTS
In a practical inverter system, the power semiconductor
switches can only approximate the characteristics of an ideal
switch, resulting in a nonlinear relationship between the refer-
ence and output voltages of the inverter circuit. This nonlinear
voltage gain has been observed experimentally, and its origin
and impacts, which are collectively referred to as “nonlinear
distortion effects,” have been discussed [5]–[19]. These distor-
tion effects include reduced amplitude and low-order harmonics
of the fundamental voltage. In ac machine drives, these voltage
harmonics are undesirable, causing load current distortion and
leading to increased power loss and torque ripple [5]. Addi-
tionally, when sensorless control strategies are employed, the
estimated rotor angle will suffer from a periodic distortion
resulting from the nonideal current waveforms. The nonlinear
distortion effects can be categorized as follows.
A. Device Forward Voltage Drop
When conducting current, the IGBT will exhibit a voltage
drop vCE(sat) across its terminals due to the combined resis-
tance RCE of the semiconductor material and any voltage drop
VCE,th associated with forward-biased p-n junctions within
the device. Similarly, when the IGBT is in the off-state, an
antiparallel diode is forced into conduction with corresponding
resistance Rd, threshold voltage Vd,th, and combined voltage
drop vd. The voltage drops are modeled by
vCE(sat) =VCE,th + icRCE (1)
vd =Vd,th + idRd (2)
using measured values of threshold voltage and resistance
available in manufacturers’ datasheets [8].
The distortion voltage vfv is given by
vfv =
{
−
(
δvCE(sat) + (1 − δ)vd
)
, iL > 0
δvd + (1 − δ)vCE(sat), iL < 0
(3)
where δ is the PWM duty cycle [5].
In practice, if the values of vCE(sat) and vd are similar, or
if δ ≈ 0.5, then they can be averaged over the switching cycle.
The voltage error due to device forward voltage drop can then
be modeled by [9]
vfv = −sgn(iL)
(
vCE(sat) + vd
2
)
. (4)
B. High-Current Switching Times
The IGBT exhibits a nonideal switching transient compris-
ing a delay (td(on),v, td(off),v) followed by a voltage fall/rise
time (tf,v, tr,v) as shown in Fig. 2. There is an additional
propagation delay through the gate driver circuitry at turn-on
and turn-off [tPD(on) and tPD(off)]. If this time delay is not
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Fig. 2. Linearized switching transient of the IGBT.
symmetrical, then it will contribute to the voltage error. The
total turn-on and turn-off times respectively can be approxi-
mated by [12]
ton,v = tPD(on) + td(on),v +
1
2
tf,v (5)
toff,v = tPD(off) + td(off),v +
1
2
tr,v. (6)
For large values of load current, the transition times are
approximately constant, and the voltage error due to the switch-
ing times vst can be estimated using [12]
vst = sgn(iL)(toff,v − ton,v)fsVdc. (7)
C. Deadtime Distortion
A switching “deadtime” td is added in hardware or software
to prevent shoot through that would otherwise occur as a result
of the fact that the time taken for the IGBT to turn off is greater
than the time taken to turn on. The deadtime can be chosen
using
td =
(
(toff,V (max) − ton,V (min))+(tPD(off) − tPD(on))
)
× η
(8)
where η is a safety factor generally in the region from 1.2 to 2.
The effect of the deadtime distortion can be modeled by the
well-known equation [5]–[12]
vtd = −sgn(iL)tdfsVdc. (9)
where the sign of the load current determines the polarity of the
error voltage.
D. Low-Current Turn-Off Time
At reduced levels of load current, the IGBT turn-off time
toff,v increases dramatically. Since this low-current switching
effect is symmetrical for both positive and negative values of
Fig. 3. Single phase leg equivalent circuit during upper IGBT turn-off.
load current [6], [10]–[12], only the positive load current case
will be considered here.
A phase leg equivalent circuit during the voltage rise period
is shown in Fig. 3. Due to the inductive nature of the load, it
can be modeled as a constant current source with magnitude iL
which, in this example, flows in the positive direction into the
load through Q1 while Q2 is initially off. Neglecting forward
voltage drops, the initial conditions are vCE2 = Vdc, vCE1 =
0 V, and vGC1 = −vGE1.
The upper IGBT has associated collector–gate (CCG) and
collector–emitter (CCE) capacitances. It is assumed that, over
this period, iC and vGE1 remain constant so that CGE can be
neglected. The lower IGBT can be simplified to its parasitic
output capacitance Coes commonly defined in IGBT datasheets
with the emitter and gate connections short circuited.
Over the voltage rise period (tr,v in Fig. 2), vCE1 must rise
to Vdc while vCE2 must fall from Vdc to 0 V, and vGC1 must
rise from −vGE to Vdc. Equation (10) shows how the rate of
decrease of vCE2 will also be linked to the rate of increase of
vCE1 and consequently to the rate of change of vGC1
dvGC1
dt
=
iG
CCG
⇔ dvCE1
dt
=
i1
CCE
⇔ dvCE2
dt
=
i2
Coes
. (10)
Furthermore to this, the time taken for vCE1 to rise, and
hence for vLN to fall, to its off-state value can be approximated.
The assumptions made are that CCE discharges with constant
current i1, Coes discharges with constant current i2, and the sum
of these currents is limited by iL
∆vCE1
∆t
(CCE + Coes + CCG) = iL. (11)
To further simplify the analysis, it is also assumed that
| −vGE|  Vdc and so ∆vCE1 = Vdc. The time taken for vCE1
to rise from 0 V to Vdc can be approximated by
∆t = ttr = 2
VdcCoes
iL
(12)
where Coes = CCE + CCG. This equation suggests that, in the
low-current region, the traditional dependence of dvCE/dt on
gate resistance RG during IGBT turn-off does not hold and that
it is instead related to the reciprocal of the load current.
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Fig. 4. Low-current IGBT switching transient.
This equation approximates the collector-emitter voltage rise
during turn-off in the low-current region as a linear transient
with “transition” time or “trailing” time (ttr). The minimum
possible value of ttr is set by tr,v . If the value of ttr is calculated
as being less than tr,v , then this is because iL is sufficiently
large that the gate current is limiting the transient part of
turn-off.
Fig. 4 shows how the line-to-neutral error voltage pulse can
be constructed using the linearized IGBT turn-on and turn-
off characteristics. The width of the equivalent error pulse is
defined here as the equivalent turn-off time teto which is the
current-dependent equivalent of the conventional square-wave
voltage turn-off time toff,v seen in Fig. 2.
In this analysis, it is assumed that the error voltage con-
sists of three possible components; the areas of which can
be calculated by considering the geometry of the turn-off
waveform.
If ttr ≤ tr,v , then the area is defined by the square-wave
voltage turn-off time toff,v
vA = toff,vVdc. (13)
If tr,v < ttr ≤ t′d, the area is triangular and given by
vB =
(
1
2
ttr + tPD(off) + td(off),v
)
Vdc (14)
where the effective deadtime t′d is given by
t′d = td − td(off),v − tPD(off) + ton,v. (15)
It is assumed that tf,v is small, and so, the turn-on time can be
approximated by ton,v .
If ttr > t′d, then the area is approximately trapezoidal and
given by
vC =
(
−1
2
t′2d
ttr
+ td + ton,v
)
Vdc. (16)
TABLE I
INVERTER PARAMETERS
Finally, the equivalent turn-off time teto is found by dividing
by Vdc to give
teto =



toff,v; ttr ≤ tr,v
1
2 ttr + tPD(off) + td(off),v; tr,v < ttr ≤ t′d
− 12
t′2d
ttr
+ td + ton,v; ttr > t′d.
(17)
This new equivalent turn-off time can be incorporated into
an existing “average value”-type compensator (7) in place of
the high-current turn-off time toff,v
veto = sgn(iL)(teto − ton,v)fsVdc. (18)
E. Total Nonlinear Distortion Effect
Conventional “average value”-type compensators [3]–[19]
combine the nonlinear distortion effects into one expression
verr = vfv + vtd + veto (19)
which approximates the actual voltage distortion by its low-
frequency average. Equation (19) can be used in a feedforward
compensator to overcome the fixed component of the voltage
distortion.
For small values of load current, teto ≈ td + ton,v and the
errors due to switching time veto and deadtime vtd cancel.
The remaining error is due to the device forward voltage vfv.
If the equivalent turn-off time teto is not correctly predicted,
then veto and vtd will not fully cancel resulting in incorrect
compensation around the zero-crossing region.
III. VALIDATING THE NONLINEAR DISTORTION MODEL
To ensure correct compensation over the zero-crossing re-
gion, the proposed technique for modeling the equivalent turn-
off time has been verified experimentally. The proposed scheme
was compared to measurements taken from three inverters;
details of which are given in Table I.
A. High-Current Switching Parameters
The experimental waveforms shown in Fig. 5 and obtained
using Inverter II show switching transients with the IGBT
operating in the high-current region. This is the mode of
operation typically specified in the IGBT datasheets, and the
figure indicates how the voltage rise, fall, and delay times were
measured. In the high-current region, the variation of switching
time with load current is small, and so nominal values are
presented in Table II.
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Fig. 5. Typical high-current switching transients for (a) turn-off and (b) turn-
on of the IGBTs in Inverter II.
TABLE II
HIGH-CURRENT SWITCHING PARAMETERS
B. Low-Current Switching Parameters
Numerical integration was performed on experimental
switching waveforms shown in Fig. 6 to calculate the volt–
second area of the IGBT turn-off transient for each value of load
current. This was then normalized to the dc-link voltage to give
the equivalent turn-off time teto. A plot of the experimentally
measured equivalent turn-off time for each of the three inverters
with different values of Vdc is shown in Fig. 7.
Superimposed on the experimental data in Fig. 7 is a plot
of the theoretical equivalent turn-off time calculated using (17)
and the parameters given in Tables I and II. Table III shows that
the peak error between the estimated and measured values of
teto is typically less than 12% of the effective deadtime t′d.
The error in the estimation can be accounted for by the fact
that the model assumes a fixed value of Coes. In practice, Coes
Fig. 6. Typical low-current switching transients for turn-off of the IGBTs in
Inverter III.
Fig. 7. Comparison of experimental and estimated equivalent turn-off time
with increasing load current at different dc-link voltages. (a) Inverter I.
(b) Inverter II. (c) Inverter III.
increases with decreasing vCE of the IGBT [5]. The estimation
can be improved by incorporating a dynamic model of Coes,
although this would require advanced data which are not always
available on datasheets.
Obtaining experimental data of the type presented in Fig. 7,
which would be required in a conventional lookup table com-
pensation scheme, is a complex and time-intensive process.
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TABLE III
AVERAGE AND PEAK TURN-OFF TIME ESTIMATION ERRORS
TABLE IV
SYSTEM PARAMETERS
It follows, therefore, that the new compensation parameter
teto, which can be calculated quickly and simply, provides an
accurate alternative that is ideally suited for use in an “average
value”-type compensator [11].
IV. VALIDATING THE PROPOSED COMPENSATOR
The proposed voltage distortion compensation technique
has been applied to an experimental high-frequency injection
sensorless PMSM controller. The experimental system, based
on Inverter II, consists of a three-phase inverter containing
three dual-packaged Eupec 600-V 400-A IGBT modules, each
driving a single phase of a star-connected permanent-magnet
machine. The system parameters are detailed in Table IV.
Custom-built bipolar voltage gate driver circuitry was used
to minimize hardware deadtime and propagation delay. The
six gating signals were generated using the dedicated PWM
output of a dSPACE RTI1103 controller platform. This was
configured to provide conventional PWM gating signals with
a carrier frequency of 9.8 kHz and a deadtime of 1.65 µs.
Load current control was achieved using the dSPACE plat-
form. Phase currents were measured using high-accuracy LEM
IT-600S current transducers and fed back to the controller
through 16-b analog-to-digital converters. A dq proportional–
integral–differential (PID) controller, shown in Fig. 8, was
implemented to regulate the fundamental load current.
Provision was made for injecting the high-frequency voltage
vc open loop on the three-phase axis. An injection frequency
of 300 Hz and an amplitude of 2 V were used for all of the
sensorless tests. The high-frequency current was removed from
the fundamental control loop using a fourth-order notch filter
in order to prevent the PID controller from distorting the open-
loop high-frequency injection.
Fig. 8. dSPACE control system with nonlinear distortion compensation.
Fig. 9. Compensated and uncompensated high-frequency injected signals.
A. Balanced Three-Phase Voltage Injection
At zero fundamental q-axis current, the high-frequency in-
jected signal lies in the zero-crossing region and experiences
distortion which can lead to a reduction of position estimation
accuracy. The error voltage, obtained using (19), can be applied
to predistort the demand voltage and thereby compensate the
inaccuracy. Fig. 9 shows the significant variations in amplitude
between the uncompensated and compensated high-frequency
voltage and current waveforms and that the 90◦ phase relation-
ship between the compensated current and voltage waveforms
are restored. The figure also highlights the reduced distortion of
the compensated waveforms.
To assess the impact of the proposed scheme on sensorless
position estimation, the machine rotor was locked at 1◦ incre-
ments over one complete electrical cycle, and a small q-axis
current of 10 A was applied so that inverter distortion could
be observed without introducing additional variation in the
machine inductance due to saturation. The results of the locked
rotor tests, shown in Fig. 10, suggest that, at zero speed, the ac-
curacy of the estimation can be improved by up to 20◦ electrical.
The error due to nonlinear distortion effects has been identi-
fied [5], [6], [11] as a modulation of the injection current around
the zero crossings of the fundamental current. This occurs
six times per electrical cycle of the machine. This undesired
modulation appears to the sensorless technique as an additional
saliency which interferes with the position estimation [11]. This
effect is shown in Fig. 11 where a measured saliency fingerprint
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Fig. 10. 360◦ locked rotor test at iq = 10 A, vc = 2 V, and fc = 300 Hz.
(a) Uncompensated. (b) Compensated. (c) Error relative to mechanical resolver.
Fig. 11. Saliency fingerprints. (a) Uncompensated (b) Compensated.
[20] is presented for the test machine. The fingerprint represents
a polar graph of the negative sequence components [i′′x, i′′y] of
the high-frequency currents over one electrical cycle of the
machine rotor.
For an ideal machine with only a single sinusoidally distrib-
uted saliency, the vector [i′′x, i′′y] describes a circle. Additional
saliencies, caused by asymmetries, rotor and stator slotting, or
saturation, cause the vector to deviate from this ideal circular
shape [20]. These effects are modeled using finite element
analysis (FEA) with machine operating in brushless ac mode
Fig. 12. Sensorless position control at 10 r/min at iq = 10 A, vc = 2 V,
and fc = 300 Hz. (a) Uncompensated. (b) Compensated. (c) Error relative to
resolver.
and are represented by the solid line in Fig. 11(a). A further
distortion of the saliency fingerprint occurs at the zero current
crossings in Fig. 11(a) and reduces the accuracy and robust-
ness of the sensorless position estimation. Using the proposed
scheme, the zero-crossing distortion can be compensated as
shown in Fig. 11(b). The shape of the fingerprint is improved
relative to the estimated FEA characteristic and the results in
reduced rotor angle estimation error.
Fig. 12 shows sensorless angle estimation results obtained at
10 r/min mechanical, with a fundamental q-axis current of 10 A
and the machine operating under sensorless control. Fig. 12(a)
shows uncompensated sensorless rotor position estimation.
Fig. 12(b) shows sensorless estimation with compensation for
the nonlinear distortion effects around the zero-crossing regions
and clearly demonstrates improved accuracy. The error between
the estimated rotor position and the output from a mechanical
resolver is shown in Fig. 12(c) and demonstrates that, with
compensation, the peak reduction in position error over one
cycle is approximately 20◦ electrical.
Figs. 10 and 12 also show an additional distortion occur-
ring at six times the fundamental frequency which remains
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uncompensated. This distortion is not a result of the nonlinear
effects described in Section III but is a consequence of the
higher order saliencies shown in Fig. 11 and can be compen-
sated using a lookup table [4] or decoupled using saliency
models [20].
V. CONCLUSION
Nonlinear distortion effects introduced by the modulation
process and power electronics can reduce the accuracy of
injection-based sensorless control schemes in PMSMs. Distor-
tion of the high-frequency injected currents occurs periodically
and corresponds to the zero-crossing points of the fundamental
load current. The origins of the distortion have been identified
as an extension of the IGBT turn-off time during the low-
current region. A simplified distortion model has been de-
scribed which is capable of running in real time when employed
in an average-value-type compensator. This model has been
experimentally validated using three different rated inverters
over a range of dc-link voltages. The peak error between the
estimated and measured values of teto has been shown to be
less than 12% of the effective deadtime t′d.
Experimental results have been presented for the sensorless
demodulation technique based on three-phase high-frequency
signal injection, implemented on a permanent-magnet actu-
ation machine. The proposed compensator has been applied
to improve the accuracy of the sensorless technique. It has
been shown that the accuracy of the angle estimation can be
increased by 20◦ electrical for balanced three-phase voltage
injection with the machine running under sensorless control.
The distortion caused by the noncircular saliency fingerprint of
the machine accounts for the residual error.
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